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Highlights

¢ Development of a multiphysics model for Inconel 718 vacuum induction melting.
e The moving mesh approach effectively reproduces the free surface profile.

¢ Correlation of the model melt temperatures with the transient measurements.

e Crucible is critical for melt temperature uniformity and heat transfer dynamics.

Abstract

Vacuum induction melting is crucial in casting nickel-based superalloy components,
ensuring excellent properties for aero-engine applications. Precise melting temperatures
are vital for achieving optimal metallurgical quality before casting. Hence, a multiphysics
numerical model is developed to simulate the induction melting process for the Inconel
718 superalloy. The proposed holistic model integrates magnetic fields, induced
currents, and heat and momentum transfer phenomena in a single coupled model. A
moving mesh approach reproduces the magneto-hydrodynamic behavior of the free
surface, simulating the oscillations of the melt. The stabilized deformed surface profile is
correlated with experimental measurements, reporting a proper correlation. Then, the
flow field and recirculation effect are modeled with a Low Reynolds Number turbulence
approach and coupled with the melt convective heat transfer, developing a complete
magneto-thermo-hydrodynamic model. In a laboratory-scale vacuum induction melting
furnace, transient melting operation variables are characterized and introduced to the
numerical model to compute the temperature evolution. An accurate reproduction of the
transient melt temperature variations is reported with a relative error of less than 5%.
The influence of the crucible thermal insulating capacity is assessed, emissivity
dependence evaluated, and melt homogenization is reported at different process stages.
This comprehensive numerical and experimental approach offers valuable insights for
enhancing vacuum induction melting for Ni-based superalloys.

Keywords: vacuum induction melting; multiphysics modeling, experimental validation,
turbulent heat transfer, dynamic modeling, moving mesh
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1. Introduction

Nickel-based superalloys are widely used in high-value applications, such as aero-
engine turbine components, due to their excellent mechanical properties and high-
temperature corrosion resistance [1]. Among them, Inconel 718 excels due to its
excellent mechanical properties and cost ratio [2]. Achieving components with the
required composition and microstructure, free of metallurgical defects, necessitates
advanced manufacturing processes. Vacuum Induction Melting (VIM) [3] is a suitable
process for this purpose; however, it presents inherent challenges, including the control
and optimization of the process due to the vacuum conditions, magnetic fields, and high
melting temperatures.

Numerical models that accurately reproduce the induction melting process are effective
tools, offering flexibility, accuracy, and cost-effectiveness. The induction melting process
involves magnetic fields, currents, liquid metal flow transport, heating, and heat loss. The
time-harmonic magnetic field generated by the alternating current induces a voltage in
the melt, leading to eddy currents and subsequent heat generation. Additionally, the
Lorentz force results in recirculating metal flow movement that also deforms the top
surface of the liquid metal charge. Heat loss occurs through conduction from the charge
to the water-cooled coils and radiation mainly from the top surface. Therefore, numerical
models must compute the magnetic and thermo-fluid fields and their interactions.

Previous numerical investigations have primarily focused on momentum transport
phenomena, particularly the turbulence behavior of the flow. Reynolds-Averaged Navier
Stokes (RANS) models have been commonly used, although there is no consensus
among authors, with adaptations made to suit specific cases [4]. Various modifications
to the standard k-¢ model have been proposed to improve agreement with experimental
results [5]. Alternative models, such as the k-w model, have shown promise in
reproducing the flow structure and velocity profiles [6]. Large Eddy Simulation (LES)
models have also been employed as an alternative to two-equation turbulence models,
revealing periodic instabilities in line with experimental findings [7]. Umbrashko et al.
studied a 3D LES transient of the turbulent flow and revealed large-scale periodic
instabilities with the same frequency as the inductor current, which was in line with
experimental results [4].

Further research involved incorporating additional features related to the melting
process. The evaporation of alloying elements has garnered significant interest,
prompting the advancement of numerical models capable of determining the evaporation
rate [8]. Additionally, the stationary distribution of inclusions or alloying elements using
particle tracing methods has been considered and experimentally correlated [9]. Related
to inclusions, the salty or oxide layer added on the top surface of the melt to improve
refining has been considered, including the mass transport between the two phases [10].

In addition to flow phenomena, complex numerical models have been developed to
simulate the liquid metal-free surface dynamics in induction melting furnaces. These
models utilize fixed mesh approaches, such as the Volume of Fluid (VOF) [11] phase
field (PF) [12] or level set method (LSM) [13], to compute the multi-phase air-metal
domains and the interphase. However, it necessitated the use of two independent
software and meshes to compute the magnetic flux density field and flow field separately,
coupled with an internally established program. Similarly, Bansal et al. [14] adopted a
comparable strategy employing the fixed mesh method and incorporating the
contribution of superficial tension due to the effect of the oxide layer. However, fixed



mesh techniques are computationally intensive and susceptible to interphase diffusion,
leading to uncertainties [15].

In regards to electromagnetic induction heating, it has undergone extensive study [16],
standing out due to the nonlinear characteristics of the magnetic and thermal aspects,
increasing notably the difficulty of its modeling [17]. The skin effect determines heating
and flow acceleration in the melt, depending on the alternating current frequency and the
material properties of the electrically conducting medium [18]. Magnetic fields are
typically defined and solved in the harmonic frame, while thermal problems operate on
seconds or minutes timescales [19]. Coupled models iterate between determining the
magnetic field based on temperature-dependent material properties and advancing the
temperature solution based on the resulting Joule loss distribution [20]. The
electromagnetic problem is discretized in the inductors, while the thermal problem
focuses on the workpiece [21].

Prior research has examined the influence of various factors on the induction heating
process. For instance, the heating pattern and uniformity within the workpiece have been
analyzed for different height-diameter ratios and coil shapes [22] [23]. Concerning coll
configurations and magnetic induction, different coil structures were studied by Fu et al.
[24], who remarked that the longitudinal magnetic flux coil improved heating efficiency
and temperature distribution. Temperature inhomogeneity is one of the disadvantages
of induction heating; Xiao et al. [25] implemented a frequency conversion method raising
an electric-magnetic-thermal coupling model for heating welded, reducing the surface-
to-inner side temperature difference.

Another essential feature, the importance of alternating current frequency, has been
remarked upon by various previous studies. A novel dual-frequency asynchronous bevel
induction heating method has been proposed to improve the temperature uniformity for
complex surface workpieces [26]. For high-frequency operation conditions, the melting
of titanium wires was numerically developed and partially validated by measuring the
instantaneous liquid metal drops temperature [27].

Regarding numerical and experimental correlation, Fisk validated simulations and
measurements for Inconel 718 superalloy induction heating, employing a PID
(Proportional-Integral-Derivative) controller. This implementation demonstrated a good
agreement in temperature estimation [28]. In addition to thermocouple temperature
measurements, Kranjc et al. utilized thermographic temperature images, obtaining
favorable agreement with numerical results [29].

Notably, these studies have primarily focused on solid-state induction heating, and
limited research has been done to couple the heat transfer and the flow field for liquid
metals, principally due to the technical difficulties involved due to high melting
temperatures and magnetic fields. Previous work by Bulinski et al. [30] successfully
modeled a vacuum induction melting furnace for aluminum melt for a fixed applied power.
Similarly, ISM (induction skull melting) technology models have been conducted [31]
[32], which are capable of relating the temperature response of the model with immersion
thermocouple temperature measurements under steady-state conditions [33]. These
studies did not consider the higher melting temperatures of Ni-based superalloys and
the required transient melt power-temperature adaptations for current industrial casting
procedures [34].

Therefore, this study aims to develop a holistic and experimentally validated
multiphysics-coupled numerical model utilizing the Finite Element Method (FEM) to
simulate the induction melting process for Inconel 718. The numerical model includes all



the physical phenomena and their mutual interaction. The magnetic field is reproduced,
introducing the coil features and input power as the source term to compute induced
currents and Lorentz forces acting as the inertial term for the flow transport.

The research uses an efficient modeling approach to accurately assess a moving mesh
method to reproduce free surface hydrodynamics. The turbulent behavior of the melt has
been modeled with a low Reynolds number turbulence approach reproducing the melt
recirculation or stirring and the consequent turbulent heat transfer based on the turbulent
Prandtl number to account for the heat flux. The model integrates transient and variable
operating conditions to replicate actual industrial melting conditions of Ni-based
superalloys faithfully.

Two laboratory-scale induction-melting furnaces, operating in distinct environments—
one in an open-air setting and the other under a vacuum atmosphere—serve as
references for both modeling and melting trials. To enhance modeling precision,
specialized equipment has been developed to measure melting variables. With the ad-
hoc designed and completed trials, valuable experimental data is collected from these
arrangements, which will be utilized to validate the numerical model, assess its accuracy,
and evaluate improvement potential.

2. Numerical modeling

2.1 Geometry and assumptions

A semi-industrial VIM facility manufactured by Seco/Warwick S.A. was considered a
reference for the numerical modeling and posterior experimental measurements. The
VIM furnace comprises an airtight steel chamber connected to a vacuum system. The
melt-box (Fig. 1), with a 2 kg melting capacity of nickel-based superalloys, consists of a
sinusoidal coil and a crucible covered with housing. The copper coaxial coil is connected
to a power generator with a nominal capacity of 100 kW at 10 kHz. The coaxial coil is
water-cooled and refrigerated by a chiller. The refractory protection consists of two
layers: an active layer to contain the metal, a crucible made of Al,O3 and a reinforcing

layer composed of Al,O3-CaO.
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Fig. 1. 3D melt-box and section view of the geometry with principal dimensions.



The model's geometry was reduced to a two-dimensional axisymmetric plane, exploiting
the axial symmetry and periodicity of the melt-box. The alternating current passing
through the coil was periodic, and the coil's electrical variables were constant for each
power provided by the generator. The metal was assumed to be initially completely liquid,
not accounting for the solid-liquid phase change effects nor the posterior mold casting
and related solidification. Also, it was presumed that due to the vacuum atmosphere,
there was no presence of oxide particles on the free surface of the melt.

The partial differential equations (PDESs) that describe the physical phenomena were
discretized with the FEM based on COMSOL Multiphysics® v.6.0. The domains and
boundaries considered in the model are summarized in Fig. 2.

Domain Description
A Vacuum Atmosphere /E\
B Chamber Structure N
C Liquid Metal
D Crucible EI
E Vacuum/Air
F Melt-box O
G Coil o
H Refrigeration water
Boundary Description O
1 Symmetry axis b —
2 Chamber inner contour O
3 Metal-free surface
4 Crucible internal wall O
5 Crucible open boundary o
6 Melt-box outer contour
7

Coil refrigeration contour

Fig. 2. Resume of model domains and boundaries for the model geometry.

The magnetic field was computed for all domains, and the fluid velocity field was
calculated in the melt, with heat transfer simulated in the complete melt-box, crucible,
coil, and metal. Due to the difference in timescales between magnetic induction, heat
transfer, and flow transport, the first was solved for the frequency domain and the latter
for the temporal frame. The details of the implemented equations are described in the
following section.

The numerical modeling was divided into two sub-models for an efficient simulation. The
first sub-model considers only the magnetic-hydrodynamic coupling and the moving
mesh interface to simulate the free surface deformation of the melt until reaching a fixed
free surface shape at a constant applied power. The averaged flow field and turbulence
field were computed with the standard k — € model. The free surface instabilities of the
melt were neglected.

Once a stationary situation was reached, the second sub-model, magneto-thermo-
hydrodynamic, was solved where the thermal field was coupled while maintaining the top
free surface static. The melt heating and heat losses were computed in this second
model. The flow field and heat transfer can be coupled based on the turbulent Prandtl
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number model, and the turbulence was resolved with a low Reynolds number approach
for a more accurate flow field resolution.

The considered heat losses were conduction and radiation. The first heat flux direction
was from the melt passing through the crucible and melt box to dissipating in the water-
refrigerated coil. Second, the top free surface radiation was described using the Stefan-
Boltzmann law, which establishes the emissivity and the surface temperature of the melt.
The radiation heating contribution of the surroundings to the melt was neglected. It was
assumed that the chamber had a perfect vacuum condition; thus, the air convective
effects were disregarded.

2.2 Magneto-hydrodynamic submodel

2.2.1. Magnetic field equations

The magnetic field was solved in the harmonic domain, specifying the current amplitude
and frequency, assuming the coil current's periodicity. The time-harmonic equation for
the magnetic field is solved with Maxwell-Ampere's law [35]:

V xH=]+jw:D 1)

Where H is the magnetic field, J the current density, and D the electric displacement and
wy is the angular frequency. Considering Ohm's law with the Lorentz term for the liquid
metal flow J] = 6E + o(u X B) + J,. it can be rewritten as:

VXH=0E+o(uxB)+]J.+joD )

where o is the electrical conductivity, E the electrical field,u the melt flow velocity vector
and J. the current density source. Introducing the field potentials B = VX A and E =
—jwA and the constitutive relations B = pyp,. X H and D = g,¢,. X E it can be derived
the resulting partial differential equation (PDE) solved for the magneto-hydrodynamic
submodel.

J = (jweo — wieg er ) A+ V X (' u 'V X A) —ou x (VX A) + ] (3)

where, u~1 is the magnetic permeability and ¢ electrical permittivity. The magnetic vector
potential A is necessary for the resolution of the fields according to the A formulation
satisfying the magnetic Gauss'lawVx B =0as V-V x A = 0 always holds.

The external current density J. was determined by the input power of the coil fed by the
power generator. The coil was modeled by the coiling functionality of COMSOL
Multiphysics® being a single conductor, a solid region through which the current passes.
Although each turn of the coil is considered a separate domain, they are treated as a coil
group to facilitate the connection between the solenoid loops. The external current
density, J., is determined by taking into account the out-of-plane component of the
current I..
oV;

] e Yy (4)

©2mr

The V. potential can be obtained by constraining the total integrated current to I.. The
current density and the voltage within the coil determine the excitation power of the coil.
The input power introduces an additional constraint and a non-linearity in the equations
requiring specifying the phase angle between the two vectors. It is important to note that
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the model was fed with the experimentally measured current and voltage variables. Thus,
the coil imposed power excitation P, introducing the following additional constraint and
the phase shift between the current and voltage cos(¢):

1
Pc = E‘,Re(VC - I% - cos()) (5)

2.2.2. Hydrodynamic equations

The magnetic field induces two related effects on the flow of the liquid metal: the free
surface deformation and the generation of a turbulent recirculating stirring. The Navier-
Stokes equations govern the momentum transport, which in the time domain for an
incompressible Newtonian flow and considering the conservation of mass and
momentum are written as [36]:

dp
E-FV'(pll)—O (6)
Ju (7)
p(a+u-Vu>=—Vp+V~K+pg+FL+FST

where u is the flow velocity, p the fluid density, p is the pressure, K corresponds to the
stress tensor K = (n + uT)(Vu + (Vu)T), u dynamic viscosity, pr turbulent viscosity or
eddy viscosity, F; is the Lorentz force, Fgy surface tension, and g the gravitational force.

To calculate the mean flow of the turbulent fluid flow field u; the standard k — ¢ RANS
model was employed with wall function approximation to compute the sub-viscous layer
flow velocity. It was considered an acceptable option as a first approximation, providing
an easier convergence due to wall functions and relatively good results for the demanded
computational cost. Two additional dependent variables corresponding to the turbulent
kinetic energy (k) and the turbulent dissipation rate (g) and a transport equation for each
were included [36], the transport equations for k read:

ok K
p=—+pu-Vk=V- (u+—)Vk + P, — pe (8)
ot Oy
And the transport equation of € reads:
os T £ g2
pa+pu-Vs=V- (u+0—S)Vs +(,‘81EPk—CSzp? 9)
While the turbulent production rate Py is defined as:
P, = ur ((Vu : (Vu + VuT))) (10)

The turbulent viscosity (u) is derived from k and & with the expression:

kZ
Hr = pCu? (11)

The constants oy, o, C¢1, Ciand C, are the standard values of k — & formulation [36].
o =1.0; 6. = 1.3; Coy = 1.44; Ce = 1.92; C, = 0.09 (12)

The source term that induces flow movement is the magnetic or Lorentz force. This force
induces a mechanical momentum in the flow and magnetic pressure in the radial
direction to the crucible axis, pushing the melt away from the crucible wall inwards. It can



be described as the vectorial product between the magnetic field and the induced current
in the electrically conducting medium [35].

F, = %‘Re(] x B*) (13)

The hydrostatic force calculation is straightforward as it is the product of the volume force
generated by gravity pg. Finally, the surface tension force Fgy it is related to the surface
gradient operator Vg = (I - niniT), being I the identity matrix, n; the normal of the
interface and vy, the surface tension in the free surface following the expression [37]:

Fsr = y(Vs - nyn; — Vgy (14)
2.2.3. Moving mesh

After defining all forces acting in the liquid metal, the need to find the displacement of
the metal fluid free surface led to the moving mesh method. This method, employing the
Arbitrary Lagrangian-Eulerian (ALE) approach, accurately tracked the moving boundary
by allowing mesh nodes to follow the fluid flow. ALE combined Eulerian and Lagrangian
advantages, solving fluid equations for u and p fields in a moving reference frame with
mesh displacement.

Free mesh normal direction deformation was enabled in the domain corresponding to
the liquid metal, and free mesh slips to the metal-crucible wall boundary to allow the
tangential displacement. PDEs for the mesh displacement were solved to ensure a
smooth mesh deformation and the propagation of the moving domain displacement; in
this case, the Winslow method was adopted as a smoothing algorithm deemed suitable
for unstructured meshes. A moving mesh control was used to address potential
distortions from moving mesh methods, updating nodes iteratively to maintain numerical
stability. If any mesh element quality fell below 0.2, a remeshing operation was triggered
to ensure convergence and stability in the numerical calculation. Once the mesh was
remeshed, the simulation resumed from the previous state.

2.2.4. Boundary conditions

The boundary conditions were tailored to address the fluid flow field, turbulent variables,
and mesh displacement, summarized in Table 1.

Table 1. Boundary conditions for the hydrodynamic and moving mesh model.

Physical interface

Boundary - -
Flow field (u) Turbulence (k/g) Moving Mesh
o Vk-n=0
u-n=0 3/ Upang = U — (u-m)n
Wall (NO 4) Ug C[,t k3/2
K-n= _pu_+utang £ = kv(Sc'v dr =0
. . ll1 = llz
Fluid-Fluid Interface (N° 3 - u ‘m; =u-n
( ) n; - K2 =n;- Kl + FST mesh i i
Vk-n=0
Open Boundary (N° 5) K-n=0 d.=0;d,=0
Ve-n=20

For coupling the flow field with the moving mesh interface, a tangential velocity field u,ng

was introduced to link mesh deformation and fluid wall velocity, modifying the boundary
condition u = 0 to a no-slip condition u-n = 0. The mesh displacement in the radial
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direction was fixed, imposing the displacement of zero d,. = 0. The standard wall function
was implemented to account for turbulence effects (k and €) near the wall in function to
the wall lift-off (83,) and the von Karman constant (k,), details of the implementation can
be found elsewhere [38]. The velocity profile in this region approximated a logarithmic
function relating to turbulence variables based on the distance from the wall y™
introducing the friction velocity ug and the non-dimensional velocity u* [36].

A fluid-fluid interface condition was applied to handle mesh displacement at the interface
boundary between air and liquid metal and ensure accurate flow resolution. This
condition enforced equal velocities between the two sides of the interface u; = u, with
no mass transfer across the boundary and the mesh velocity at the interface u,eg, - The
viscous stress tensor K of the two domains related to the interface's normal vector n
while accounting for surface tension Fgr. This enabled the calculation of the interface
velocity, equating it to the mesh displacement [37].

The crucible top boundary was treated as an open boundary with no shear stress,
assuming zero turbulent kinematic energy and dissipation rate in this region. The mesh
displacement on the open boundary was fixed d,. = d, = 0 to ensure mass conservation.

For the magnetic field, the unique necessary boundary condition was the close of the
magnetic loop with the magnetic insulation boundary condition in the vacuum chamber's
inner boundary nx A = 0.

2.3 Magneto-thermo-hydrodynamic model

The second effect of the magnetic field is the induction heating effect due to the
dissipation of the eddy currents that, for an alternating magnetic field, is related to the
electrical conductivity and the product of electrical tension and current density [35]:
1
Qe =5 %e(J - EV) (15)
where Q. is the heat generated and acts as a source term for the heat equation.

2.3.1. Thermal field equations

The energy equation was incorporated into the magneto-hydrodynamic model presented
and considered the effect of the turbulent heat transfer. Natural convection effects
induced by temperature differences were disregarded because of the higher effect of
magnetic heating. The heat transfer equation solved in the melt can be written as [39]:

aT
pCp (E + (u ) VT)) =V (}\effVT) + Qe (16)

Where T is the temperature field, Cj is the specific heat capacity, and the factor A is
the sum of the contribution of the liquid metal thermal conductivity A and the turbulent
thermal conductivity At, which takes into account the enhanced heat transfer due to
turbulent mixing depending on the flow conditions and the turbulent viscosity:

C
Ar = pur p/ Prr 17

Therefore, the fluid flow and temperature fields have to be coupled; a non-isothermal
approach was considered by introducing the turbulent Prandtl number Pr; that relates to
the momentum and heat transfer of turbulent diffusion. The turbulent Prandtl number Pry



is derived from the Extended Kays-Crawford model [40], which relates the turbulent flow
and the heat transfer in the boundary layers.

2.3.2. Low Reynolds number model hydrodynamic equations

The standard k — € model mentioned above assumes a high Reynolds number, in the
order of 10°, resulting in fully developed turbulent flow and the need for wall functions to
define velocity in the near-wall boundary layer. This can lead to an artificial increment of
the velocity at the wall, distorting the convective heat transfer.

However, for the induction melting case, turbulence was calculated to be in the order of
10%. A low Reynolds approach addresses these uncertainties, resolving turbulence
equations through the buffer and viscous sublayer up to the wall. The Low Reynolds
Number (LRN) k —e formulation enhances the previous standard k —e model by
modifying the turbulence transport equations with nonlinear damping factors.
Specifically, the AKN model has been implemented to couple efficiently with heat transfer
[41]; the transport equations for, k and ¢, including the damping function f reads as:

k Hr
pa+pu-Vk=V- <u+0—k)Vk + P, — pe (18)
Oe Hr £ g2
pa+pu-Vs=V- (u+0—)Ve +C£1;Pk—fngzp? (19)
€

Where the production rate Py is written as:

P, = iy ((Vu : (Vu + VuT))) (20)

For the turbulent viscosity model, the second damping function, f,,,is included:

k2
Wr = pfucu? (21)

While the damping functions, f, and f; reads and additional functions are introduced:

_ﬁ 2 5 (_ﬁ)Z
fu:(l—e 14') . 1+We 200 (22)
t
1" \2 R
fe= (1 - e‘ﬁ) - (1 + 0.3e(‘?§)2) (23)
2 1
[ ue p

where [, corresponds to the closest wall distance, while the constants of the model are
given by the AKN formulation [41]:

Op = 14; 0, = 1.4; Cy = 1.5; Cp = 1.92; C, = 0.09 (25)

2.3.3. Boundary conditions

Accurately determining the heat fluxes across the walls, coupled with the high flow
velocity gradients close to the walls, requires some maodifications in treating the boundary
conditions at the walls. Instead of wall functions, a low Reynolds approach was adopted
for computing viscous and buffer layer flow. This wall treatment enforces a no-slip
condition with zero velocity at the wall. The first mesh cell is included in the viscous
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sublayer, requiring a finer mesh and improved quality. It is necessary to ensure that the
distance between the wall and the first mesh element center is less than 1 in viscous
units; thus, the first mesh element's length in the wall's vicinity was set at 0.5 mm.

For heat transfer analysis, two primary boundary conditions were taken into account:
radiation (q,.q) acting on the metal's exposed surface and forced convection (qq4;s) along
the inner contour of the coil (N° 7), facilitated by the coil's water cooling.

The radiation condition applies to the metal's free surface, considering the emissivity (€),
the Stefan-Boltzmann constant o}, and temperature difference between the free surface
and the infinite reference T,,, assumed to be 25 °C. Forced convection at contour, N° 7,
depends on experimentally measured heat dissipation, influenced by inlet/outlet
temperatures. Here, T,,; denotes the inlet water temperature of 20 °C and heat transfer
coefficient h, which is parametrized to adjust for measured heat losses due to crucible
conduction qg;s-

The outer melt-box contour was treated as a thermal insulation boundary to provide
thermal insulation. These boundary conditions should be considered in conjunction with
the previously described fluid flow and turbulence-determining conditions. The
summarized boundary conditions are presented in Table 2.

Table 2. Boundary conditions for the coupled thermo-hydrodynamic model.

Physical interface

Boundary Description  pFlow field ~ Turbulence Temperature (T)
(u) (k/¢) Heat flux (q)
Free Surface Radiation _ - _ 4 4
(No3) Surface K-n=0 —n- qrad =€ Gsb(TDO =T )
Internal Wall . k=0
No-slip u=0 uk —n-q = —AVT
(N° 4) e=2"%
p Ly
Coil int. boundary Forced

(N° 7) Convection i - N Qais = W(Texe = T)

Crucible - Melt-box Thermal

(N° 6) Insulation ) ) —nq=0

2.4 Meshing and solver configuration

The mesh definition is critical, especially when dealing with coupled nonlinear physical
interfaces like flow transport and magnetic field. The meshing sequence was divided into
two steps according to the goal of the simulations. As an initial step for the mesh
deformation study, unstructured triangular mesh elements were employed, adjusting the
minimum element size to capture the skin effect. The coil domains were meshed through
the boundary layer mesh to capture the resistive losses due to the auto-inductance
effects in the copper windings. For the rest of the domains, triangular mesh elements
with extremely fine sizes were employed. During the moving mesh simulation, an
automatic re-meshing algorithm improves calculation stability and avoids generating
degenerated mesh elements. In each iteration, a mesh control was applied to verify that
the element's minimum quality was over 0.2, and if not, the mesh elements were adapted
to the actual deformation. An example of the mesh for the last time step can be seen in
Fig. 3. a.

11



For the fluid recirculation simulation, a mesh refinement was performed to improve the
quality of mesh elements and increase resolution, especially in the fluid-wall interface.
The grid was adjusted iteratively to ensure computation convergence based on the
relative error defined by the velocity gradient of the fluid flow (Fig. 3. b.).

a) R b)
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Fig. 3. a) Final mesh for deformation study. b) Refinement for flow stationary study.

80m:

Moreover, a mesh validation and sensitivity study was done to ensure the repeatability
of the results, reducing the mesh maximum length size. Table 3 resumes the sensitivity
of the mesh results from the LRN turbulence model; the magnetic field and Lorentz force
results were consistent, thus, only the averaged and maximum velocity are presented.

Table 3. Mesh sensitivity analysis for fluid velocity field results at 8.3 kW applied power.

Max Lenght N° Elements Average Quality U,,g [M/s]. Uy [M/S]
4 1.2-10° 0.92 12.8 33.0
2 1.5-10° 0.92 12.9 331
1 2.5-10° 0.92 12.9 33.3
0.5 6.4-10° 0.93 13.0 35.5

For the u and p fields, second-order (P2+P1) discretization was adopted, while for
magnetic vector potential, quadratic elements were used. A segregated solver was
employed to solve the fields, dividing the problem into various steps corresponding to
each physics and computed sequentially in each iteration. This way, smaller equation
matrixes were generated. However, more iterations were required to get a convergent
solution. The time step was limited to 1 ms in the free surface study while for the heat
transfer 1 second was established. All fields were resolved with the direct solvers
integrated in COMSOL Multiphysics®.

2.5 Material properties

The material properties for the resolution of the above-presented equations are resumed
in Table 4. Regarding electromagnetics, all materials have been considered
paramagnetic p,. = 1 while the crucible and melt box are electrically insulators o = 0. For
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the coil's copper, the thermophysical and electrical material properties rely on the
COMSOL Multiphysics® database. For the thermophysical and electrical properties of
liquid Inconel 718, values reported by Mills [42] at 1500 °C are considered. Emissivity
(e) was estimated to be 0.2 according to the pyrometer calibration.

The alumina (Al,Os) crucible and melt-box concrete (Al,O3-CaO) thermal properties were
characterized in the 25-1500°C and interpolated, which is implemented in the molde as
a built-in function. Following the sapphire ratio method, the specific heat capacity Cp was
determined with the differential scanning calorimetry (DSC Netzsch STA 449 F3
Jupiter®). For the thermal diffusivity laser flash analysis (LFA Linseis 1000®) technique
was employed. Considering that refractories have a low thermal expansion coefficient, a
constant bulk density was estimated by the relation of volume and mass. The thermal
conductivity was characterized as the product of the density, thermal diffusivity, and
specific heat capacity k(T) = p - a(T) - Cp(T).

In addition to Inconel 718, aluminum was also employed as melting material in the open-
air induction melting furnace. Consequently, the aluminum properties pertinent to the
magneto-hydrodynamic model are included in the material properties Table 4 for a
temperature of 750 °C.

Table 4. Material properties for the implemented domains.

Density Thermal Heat Electrical  Dynamic Surface
Material ke Conductivity capacity  conductivity Viscosity Tension
) el e@) w(
AR P \kgK °n M \ms y (N-m)
Inconel 718 [42] 7400 29.6 720 6.67-10° 5.4-103 1.86
Aluminum [44] 2300 - - 3.6-10° 1.29-108 0.85
Al203 2950 -1.72-In(T)+17.3  0.32.T0187 0 - -
Al203-Ca0 2730 -0.52:In(T)+6.11  0.29-T0239 0 - -
Copper 8960 400 385 6e’ - -

3. Experimental measurements

Experimental tests were conducted to provide references for feeding the numerical
model and subsequent comparison and validation. The study focused on two critical
aspects of induction melting. Firstly, the free surface deformation was examined to
validate the magnetic-hydrodynamic coupling. Secondly, the transient response to power
changes and resulting metal temperature adjustment were analyzed to validate the
temperature field coupling.

3.1 VIM experimental set-up

Before the melting trials, the VIM installation was set to acquire the required process
variables to implement the previously described model. A specific set-up was developed
for the data acquisition, employing a 16-channel National Instruments NI-9207® module
as analog inputs recording at 1 Hz sample frequency. The recorded signal data were
thermocouple and pyrometer temperature, induced power data; heat dissipated on the
water-cooled coil, and vacuum chamber pressure. All the data was imported to an in-
house developed real-time monitoring system for the melting process variables control
and measurement for the posterior data analysis.
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Regarding the measured temperature variations during the trials, an Optris
CTRatio_1MH dual-wavelength pyrometer was employed to measure the top surface
temperature of the metal, with a measuring range between 700 °C and 1800 °C. This
was placed outside the vacuum chamber, aiming the metal top surface from a viewport.
Before the data recording, the pyrometer was calibrated with an immersion B-type
thermocouple. Additionally, a sensorized crucible (Fig. 4) was fabricated to measure the
thermal response of the melt to applied power variations. This device consisted of an
Al,O3 crucible with two K-type thermocouples attached, one at the base of the crucible
(TC_1) and the second on the vertical wall (TC_2). Before the trials, it was verified that
the magnetic field did not affect the thermocouple reading.
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Fig. 4. a) Crucible section and thermocouple position. b) Melt-box configuration.

The heat dissipated in the refrigerated coil via conduction through the crucible and melt
box was derived from the calorimetric balance method qq4;s = mC,AT [43]. For that, the
coil refrigeration was controlled with a water flow sensor and two temperature resistance
detectors were placed in the inlet and outlet to measure the temperature variation.

A closed-loop ASIC-based Hall Effect LEM LF-2010-S® current transducer was
employed, connected in series with the coil and power generator. Regarding the voltage,
a LEM AV 100-750® voltage transducer was connected in parallel to the coaxial port
entrance as close as possible to the coil. The analog output signal was conditioned to
adapt to the resolution of the NI-9207 data acquisition system. A YOKOGAWA DLM
2024® oscilloscope was employed to visualize the waveform amplitude and frequency.

3.2 Melting trial and data acquisition

The objective of the melting trial was the transient measurement of the temperature of
both the melt and crucible throughout the melting process. The trial followed a standard
melting procedure involving two quasi-stationary stages to adjust the melt temperature.
A stepped power application procedure was utilized to heat the charge. Once the charge
had completely melted, the coil power was adjusted to reach the target temperature of
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1500 °C and maintained for 10 minutes. Then it was followed by a transition stage, during
which the coil power was reduced, and the temperature gradually decreased to 1450 °C,
holding steady for 15 minutes (Fig. 5). It is important to note that maintaining a constant
power did not result in a stable stationary temperature state due to the low thermal inertia
of the melt, leading to rapid temperature variations. Therefore, slight power adjustments
were necessary to sustain the target temperature.

During the trial, it was observed that the lower side thermocouple TC_1 exhibited higher
thermal inertia compared to the vertical thermocouple TC_2, which displayed a faster
response and registered a temperature approximately 25 °C higher. This difference was
expected since TC_2 was placed closer to the melt and, therefore, more sensitive to
temperature fluctuations. These temperature stabilization stages served as reference
points for the subsequent numerical model validation. The measured heat dissipation
rate for the analyzed section is presented in Table 5. The chiller utilized an on-off mode
of operation, resulting in a maximum variable temperature difference AT of 4-8 °C.
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Fig. 5. Power-temperature-time of melting trial in quasi-stationary stages.
The analysis of the obtained experimental data is summarized in Table 5. The data for
the two quasi-stationary stages with target temperature and corresponding duration,

applied power, dissipating heat, and the transition stage. These references are input data
for numerical simulations, posterior correlation, and validation purposes.

Table 5. Experimental trial stages, time steps, and process data.

Stage Start End  Duration [min] Pc [kW] Qais [KW] Temp [°C]
S-1 0 11 11 8.3 5.2 1500
Trans. 11 18.5 7.5 6.8 4.4 Variable
S-2 18.5 35 16.5 7.4 4.7 1450

For the above-measured power stages, the electrical variables of the coil were measured
and later introduced as input in the numerical model. The measurements for different
power stages corresponding to the root-mean square (RMS) current (lc), voltage (Vc),
frequency (fc) and phase shift angle (¢) results are presented in Table 6.
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Table 6. Measured electrical variables for input power.

Stage Pc [kW] Ic [A] Ve [V] fc [kHz] @ [deg]
S-1 8.3 915 138 7.4 86

Trans. 6.8 810 90 8.6 85
S-2 7.4 850 105 8.3 85

3.3 Open-air induction melting furnace

However, the challenges of working with high melting temperatures above 1350 °C in a
vacuum chamber with limited space, no visible light, and magnetic fields make it difficult
to acquire in-situ experimental data for the free surface shape. As a result, completing
experimental trials and validating the numerical model for VIM presents technical
difficulties. An alternative approach is employed to overcome these challenges using an
air-open induction melting furnace (Fig. 6).

®210
?185

275

0335

Fig. 6. Open-air induction melting furnace depict and dimensions.

The Inductotherm® Small Steel Shell furnace with a VIP Power-Trak+® power generator
provides melting variables similar to industrial capacities, rated at 50 kW and 3 kHz. The
larger dimensions of this furnace allow the melting of 20 kg of aluminum or 7.5 dmé,
making it more suitable for hydrodynamic studies.

The open-air furnace configuration offers several advantages, including easier melting
processes, the possibility of installing acquisition systems, and the ability to observe the
process with the naked eye. These benefits facilitate hydrodynamic model validation.

3.4 Free surface shape measurement

The aluminum underwent gradual heating with stepped power stages. Once the metal
reached a fully liquid state, the temperature was elevated to approximately 750 °C and
measured using a type K thermocouple. The presence of oxide particles was minimal in
all the trials, and the few were concentrated in the wall crucible wall. The power was
maintained at a fixed level to stabilize the temperature. A device consisting of 9 threaded
rods was introduced into the metal's free surface to study the melt deformation. After
wetting the rods for a few seconds, the device was carefully removed, leaving a mark
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indicating the melt height and free surface profile. Three trials were conducted for
different charge weights, corresponding to 5 kg, 7.5 kg, and 10 kg at fixed 25 kW of
applied power. The melt deformation was assessed using contact probes, and the
average height and relative error are shown in Fig. 7.
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Fig. 7. Measured surface profile for 5, 7.5, and 10 kg mass-filling.

The results consistently showed a characteristic meniscus shape, with the initial height
of the melt varying based on the crucible's mass filling. Trials with lower filling levels
exhibited greater melt height and a more significant difference in height between
boundary points. The measured electrical variables of the power unit that will serve as
input for the simulation are summarized in Table 7.

Table 7. Resume of conducted test and electrical variables

Mass [kg] Pc [kW] Ic [A] Ve [V] fc [kHZ] @ [deq]
5 25 511 538 2816 83
7.5 25 514 541 2820 83
10 25 483 478 2916 84

4. Results and discussion

The model is studied under transient dynamic conditions for numerical results validation
purposes according to the VIM experimental trial. The two quasi-stationary temperature
stages are simulated by incorporating a transient adjustment stage. The obtained
experimental data, summarized in Table 5 and Table 6, were incorporated into the
model. The simulation procedure followed is depicted in Fig. 8.

The procedure begins with computing the magneto-hydrodynamic submodel trough the
moving mesh method until a stationary profile is achieved. Subsequently, the mesh was
refined to ensure an accurate solution for the flow velocity field, and the thermal model
was coupled while maintaining the fixed free surface profile proceeding to the magmeto-
thermo-hydrodynamic submodel study.
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After confirming the convergence of the calculations, the transient study was conducted
until the end of the stage. When changes in the applied power, the simulation was
paused by decoupling the thermal model and recalculating the new stationary free
surface. The same approach was followed for the second quasi-steady state.
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Fig. 8. Flow chart of the simulation procedure.

4.1 Magneto-hydrodynamic results

Before presenting the results for the VIM furnace, the ones for the open-air furnace are
presented and discussed as they will serve as magneto-hydrodynamic submodel
validation purposes.

4.1.1. Open-air IM free surface validation

Open-air induction melting surface deformation data was used to validate the free
surface deformation profile. The mesh deformation model was adapted to the open-air
IM furnace's geometry and operating electrical parameters. As mentioned previously, the
heat transfer effects are neglected for the magneto-hydrodynamic model, studying solely
the magnetic fields and hydrodynamics coupling. The implemented equations were
detailed in Section 2.2 and boundary conditions of Table 1. A coupled frequency-
transient mesh deformation was simulated for 5 seconds with a fixed time step of 5 ms,
using a power ramp-up function for convergence assurance. Simulations were
conducted for three mass filling levels, adapting the initial filling level to the mass and
corresponding power input electrical variables, resumed in Table 7, and material
properties of aluminum presented in Table 4 assuming a fixed homogeneous
temperature of 750 °C in the melt.

Fig. 9 depicts the computed surface profile for each simulation case after reaching a
quasi-stationary situation, maintaining a stable maximum melt height. The numerical
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results effectively captured the curvature profile formed by the point coordinate
measurements, exhibiting a close replication. An increase in surface profile roughness
was observed in the vicinity of the wall, particularly for the 5 kg filling case and between
the wall and the first measurement reference. The low filling level generates a substantial
magnetic force on the free surface border, resulting in pronounced distortion and rotation
of the mesh elements.
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Fig. 9. Experimental and numerical correlation of the free surface profile.

4.1.2. VIM free surface analysis

Once stated the validity of the magneto-hydrodynamic model, the VIM case was studied.
The coupled frequency-transient study has been launched with a 1 ms time step for a 5-
second simulation with the input electrical variables corresponding to the 7.4 kW power
stage. The implemented model electrical variables are based on the experimental
measurements in Table 6. Fig. 10 depicts the maximum and minimum height of the melt
in the axial coordinate for 2 seconds of simulation and the corresponding coil power.
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Fig. 10. Hydrodynamic free surface behavior for 7.4 kW power.

Initially, rapid oscillations of the free surface were observed, achieving an almost quasi-
stationary state after almost 1-second. The coupling between fluid flow and magnetic
fields evidences the parallelism between the free surface and coil power oscillations,
evidencing that the deformation of the melt leads to a modification of the original
magnetic field produced by the coil, and in the counter back, it affects the coil power.

The rapid variations might be related to the sudden application of the power and were
not detected during the experimental trials. The reason arises from the generator's
progressive power increment; thus, the deformation of the free surface is steadier without
the computed transient fluctuations. Moreover, these rapid oscillations increase the
computational cost as the mesh deformation increases, requiring remeshings steps.
Thus a 1 s duration ramp-up step function was included in the coil power application to
consider the progressive increment of the magnetic force, facilitating the convergence.

This power ramp-up modification simulated the free surface profile for the VIM coil and
the two experimental quasi-stationary melting power stages. Similar results were
obtained for both cases (Fig. 11), with a maximum height difference of 13 mm for 8.3
kW. This relatively small deformation results from the high hydrostatic pressure and the
relatively low induced powers.
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Fig. 11. Quasi-stationary free surface profile.

4.2 Magneto-thermo-hydrodynamic results

4.2.1. Magnetics field and flow field recirculation analysis

Fig. 12.a. illustrates the magnetic flux density and Lorentz force vectors within the liquid
metal. The magnetic flux density was approximately 0.1 T, a typical value for this type of
induction application. Lorentz force vectors were concentrated in the interface region,
and the magnitude decreased while advancing into the metal. Coil excitation frequencies
in the order of kHz concentrate the skin effect in a layer of 7 mm. This magnetic field
concentration in the crucible-melt interface suggests localized heating in the film layer.
This evidences that precise and fine meshing in the walls is essential to capture the heat
convection and conduction effects between the melt and the crucible. For the power
stage of 8.3 kW, a slightly higher magnetic field intensity of up to 0.12 T was computed
while maintaining the same distribution.

Regarding the fluid velocity plotted in Fig. 12.b, the interaction between the magnetic
pressure and hydrostatic normal forces resulted in a distinct recirculation pattern. Two
main toroidal flows recirculated in opposite directions. The highest flow velocities were
observed in the lower zone, near the curved wall of the crucible. Conversely, the velocity
was nearly zero on the top surface, the vortices' center, and the stagnant points between
the primary eddies. The magnitude of the velocity is in the range of 30 cm/s, in line with
the previous numerical results reported in the bibliography for Wood's alloy [11]
aluminum [30] and titanium [32] melting.
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Fig. 12. For 7.4 kW input power. a) Lorentz force vectors and magnetic flux density. b) Velocity
field and fluid pattern.

4.2.2. Temperature field analysis

The equations employed were described in Section 2.3, and boundary conditions
correspond to Table 2. The model was initialized with the power and electrical variables,
heat dissipation fluxes, and time values obtained from Table 5 and Table 6 and material
properties parameters of Table 4.

A preliminary frequency-transient study was conducted for one hour to establish an
accurate initial temperature distribution and model transient temperature evolution. This
simulation aimed to capture the heating and solid-liquid transition during the melting trial,
considering the progressive temperature increment. The simulation achieved a quasi-
stationary temperature state, serving as the starting point for subsequent transient
dynamic melting simulations.

During the experimental trial at 1500 °C, it was found that the average applied power
was 8.3 kW, and the heat transfer coefficient (HTC) of the inner coil boundary was
adjusted to dissipate 5.5 kW of heat flux. However, the simulation results showed a
higher melt temperature, 50 °C, than the pyrometer reading. The observed difference
falls within acceptable margins considering additional variables in experimental tests,
such as dross particles on the metal, fumes, and gases, which can affect the
measurement.

A sensitivity and parameterization study addressed the difference between the initially
considered emissivity value for radiation and the one that best fits the target temperature
of 1500 °C. The optimal emissivity value for achieving the target temperature of 1510 °C
was found to be 0.35, higher than the initial value considered. The preliminary quasi-
stationary frequency-transient coupled simulation results are presented in Fig. 13.

Heat flux vectors show intense heat transfer from the melt to the crucible, especially at
the liquid metal-crucible contact area. The temperature distribution shows a maximum
melt temperature of 1500 °C and around 1300 °C for the thermocouples. The
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subassembly of the crucible and melt box exhibits high thermal insulation capacity,
rapidly reducing the temperature, while the metal maintains a relatively homogeneous
temperature, to be further analyzed in the subsequent section.
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Fig. 13. Conductive heat flux vectors and temperature distribution for 8.3 kW power.

4.2.3. Transient temperature correlation

Returning to the analysis of VIM melting, the power-temperature-time data (Fig. 5) of the
experimental test were employed as input parameters to simulate the temperature
variations and validate the simulation results. The objective was to reproduce the two
quasi-stationary temperature stages at 1500 °C and 1450 °C feeding the model with the
electrical and heat dissipation variables resumed in the Table 5 and Table 6. The
transient simulation will assess the model's response to dynamic power variations and
the temperature response.

To accurately capture the temperature variations, two reference probes were placed at
the exact locations of the thermocouples, while the pyrometer measured the maximum
temperature of the upper melt contour. For each stage, the averaged power was used
as the input, and the heat dissipation for the water-cooled coil was adjusted, as shown
in Fig. 14.
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The transient temperature evolution is depicted in Fig. 15, overlaid with the experimental
measurements. The model reproduced temperature values with a maximum discrepancy
of 20 °C for any measurement point. Although the model data did not exhibit signal
interference in the experimental data, the overall trends display similar behavior during
the first quasi-stationary period. The transient analysis reveals that the metallic charge
had lower thermal inertia than the ceramic crucible. Once the transient stage ends, the
system reaches a new steady state at 1450 °C for the metallic charge, while the ceramic
crucible decreases in temperature correspondingly to around 1300 °C. In this new steady
state, the model exhibited less accuracy in relative temperature terms for the
thermocouple placed on the wall (TC_2).
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Fig. 15. Comparison of computed temperature and experimental measurement.

The dynamic temperature response of the simulation is accurate, with a relative error of
5 %, considering the temperature transition and stabilization at the two target
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temperatures. The absolute temperature deviation for thermocouple TC_2 at the
stationary 1450 °C is 25 °C. The melt temperature mainly influences the behavior of
TC_2, as it reproduces the same trends as the metal temperature, being more sensitive
to its variation.

In this regard, as was mentioned before, the thermal conductivity of the crucible plays a
critical role. A sensitivity analysis was done by varying the magnitude by 10 % inside the
experimental measurement uncertainty for the alumina (Al203) crucible thermal
characterization. The consistency of the model was notable as it led to maximum
temperature variations of 30 °C for the pyrometer temperature reference, while for the
crucible probes, there was a slight deviation.

Although the correlation could be slightly adjusted, this would result in a loss of accuracy
for TC_1, which exhibits a decreasing trend. It should be noted that the simulation does
not consider the power increment during the adaptation stage, where a sudden
temperature change occurs, which could improve the temperature correlation.

Regarding the temperature distribution in the melt (Fig. 16), a homogeneous field is
obtained with a difference of 5 °C for the two quasi-stationary stages. The homogeneous
temperature distribution may be attributed to the turbulent heat transfer A;. Also, the low
charge mass of 2 kg and low metal viscosity of 10® Pa-s produces an intense
recirculation between the vortices, leading to temperature homogenization. Additionally,
the thermally insulating crucible aids in maintaining metal temperature stability.
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Fig. 16. Temperature contour distribution for 1°C intervals in the quasi-stationary stages at 8.3
kW and 7.4 kW.

At the beginning of the transient study, the unknown temperature distribution of the whole
system is a limiting factor. The pyrometer temperature defined the quasi-stationary
condition as a local stationary condition, which does not mean a fixed condition in the
rest of the domains. Furthermore, additional uncertainty artifacts, such as the accuracy
of the thermocouples and pyrometer, must be considered.
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In addition, it must be emphasized that the modeled power was the average value of the
stages and did not account for the continuous power adjustments to maintain the
objective temperatures, possibly increasing the discrepancies. On the other hand, the
model does not account for the necessary time required by the power generator to couple
with the resonance frequency of the equivalent circuit and the input power command.
Therefore, in this time gap, the power generator might be supplying extra power, leading
to a slower temperature decrease.

5. Conclusions

A coupled multiphysics numerical model was developed to simulate the nickel-based
superalloy Inconel 718 temperature dynamics during the VIM process. The complex
phenomena occurring during melting were simulated in a coupled formulation in a single
and compact modeling structure. The modeling approach was optimized, minimizing the
computation time by separating the free surface deformation and heat transfer
processes.

- The ALE algorithm, employing the moving mesh method, proved effective in
reproducing the free surface deformation during the VIM process. An acceptable
correlation was achieved for different mass-filling levels under the 25 kW induced
power conditions. The convergence and robustness of the computational model were
obtained with the re-meshing process over the study steps.

- The transient temperature simulation showed a high level of accuracy, with a relative
discrepancy lower than 5% for the melt temperature compared to the experimental
data in both quasi-stationary and dynamic situations across all three temperature
experimental references. However, the model temperature responded faster than the
experimental. As the rest of the system is highly variable, minimizing the error in
absolute terms is not feasible without further experimental tests to acquire more
knowledge about the temperature distribution in the crucible.

- Crucible thermal conductivity plays a critical role in the heat transfer phenomena,
maintaining the internal energy in the melt due to its thermal insulation properties. The
temperature variation observed in the melt was approximately 5 °C, which is attributed
to the continuous recirculation of the melt and high thermal conductivity due to
turbulent heat transfer, which results in efficient temperature homogenization.

This experimentally validated model highlights a potential tool to determine the best VIM
operating conditions facilitating the determination of an optimized melting procedure,
reducing process cycle time, and enhancing energy savings at the same time avoiding
the overheating of the melt.
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